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Abstract: In bidirectional ductile end diaphragm systems (EDSs) in which buckling restrained braces (BRBs) are used as the hysteretic devi-
ces to provide ductile responses to earthquake excitations, BRBs that connect the abutments to the bridge’s superstructure span across the
expansion joints. Therefore, these BRBs should not only be designed to resist significant forces from seismic excitations, but would also be
expected to accommodate the displacements due to the expansion or contraction of the bridge as a consequence of temperature changes. Such
displacement demands on the BRBs would produce cyclic stresses and strains in the BRB’s core plate, and the BRBmust be designed to ensure
that the low-cycle fatigue of the BRB is prevented over the design life of the bridge (or periodically replaced if having shorter low-cycle fatigue
life). In the absence of such a consideration, BRBs would have to be connected to the abutment in series with lock-up devices to allow thermal
expansion and contraction of the bridge under normal conditions but engaged during earthquakes, which is not a desirable detail. In this study,
the low-cycle fatigue analyses of BRBs across bridge expansion joints are performed by subjecting a bridge to temperature changes from vari-
ous cities to determine recommended design parameters. Resulting from these analyses, the minimum ratio of BRBs’ core plate yielding
length over total bridge length is recommended as 3% to avoid low-cycle fatigue over 75 years of thermal changes on the bridge superstructure.
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Introduction

For bridges with slab-ongirder steel superstructures, the AASHTO
Guide Specifications for LRFD Seismic Bridge Design (AASHTO
2011) included provisions for the design of specially detailed
ductile diaphragms as permissible earthquake-resisting elements
(EREs) to resist earthquake acting in the bridge transverse direction.
However, this structural concept must be combined with other
approaches to address seismic excitations in the longitudinal direc-
tion. To overcome this limitation, Celik and Bruneau (2011) first
introduced bidirectional ductile end diaphragm systems (EDSs)
inserted in straight or skew slab-ongirder bridge superstructures to
resist earthquake excitations from all horizontal directions. In the
two proposed schemes of bidirectional ductile EDSs (i.e., geometri-
cal layouts) presented in Fig. 1, buckling restrained braces (BRBs)
were arrayed to provide ductile responses to all horizontal seismic
forces. In those schemes, BRBs are connected to abutments and
cross expansion joints; therefore, they should not only be
designed to resist significant forces from seismic excitations, but
would also be expected to accommodate the displacements due to
the expansion or contraction of the bridge as a consequence of

temperature changes. Such displacement demands on the BRBs
would produce cyclic stresses and strains in BRBs under a
bridge’s thermal movements; in some instances, the stresses in
the yielding core of the BRBs may exceed its yield strength, and
low-cycle fatigue may be a concern. The BRBs should be
designed to ensure that low-cycle fatigue is prevented over the
design life of the bridge (or a significant part) with sufficient life
left to also resist earthquake excitations. Thus, satisfactory per-
formance of the BRBs requires knowledge of the effect of years
of thermal strain cycles on BRBs.

Initially developed in Japan by the Nippon Steel Corporation in
Tokyo in the mid-1980s, the main component of a BRB is the yield-
ing steel core plate, which is surrounded by the casing outside the
BRB core plate. The global buckling of the BRB’s core plate can be
prevented over its encased length. As illustrated in Fig. 2, which is a
typical BRB, a separation gap with debonding agent is placed
between the steel core and the casing to ensure independent axial
deformation of the yielding core plate relative to the restraining cas-
ing. There exist many manufacturers of BRBs delivering devices
with different designs, but generally, their components remain
fairly consistent. BRBs have been studied extensively and are
mostly implemented in building structures and a few bridges all
over the world for more than 30 years. They are designed to pro-
vide stable and reliable energy dissipation through high hysteretic
deformations and typically have relatively large ductility capacity
(Clark et al. 2000; Iwata et al. 2003; Sabelli et al. 2003; Tsai et al.
2003; López and Sabelli 2004; Uang et al. 2004; Tremblay et al.
2006; Fahnestock et al. 2007; Bruneau et al. 2011). Numerical
models of various types of BRBs have been built and finite-
element analyses have been performed to better understand their
hysteretic behaviors (Korzekwa and Tremblay 2009; López-
Almansa et al. 2012; Budaházy and Dunai 2015).
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Until now, only a few studies (Takeuchi et al. 2008; Usami et al.
2011; Wang et al. 2012a, b) have investigated the low-cycle fatigue
of BRBs. Takeuchi et al (2008) investigated BRBs’ low-cycle fa-
tigue performance by using cumulative inelastic deformations, and
they proposed equations to predict the cumulative absorbed energy
and deformation capacities of BRBs based on assumed bilinear hys-
teretic behavior. Maeda et al. (1998), Nakamura et al. (2000),
Usami et al. (2011), and Wang et al. (2012a, b) conducted

experiments to show the comparisons of low-cycle fatigue perform-
ance of BRBs with different detailing, and the BRBs were all tested
at constant strain amplitude, with strain ranges from 0.0004 to 0.08.
However, no study has specifically addressed the low-cycle fatigue
of BRBs in bridge applications spanning expansion joints and
affected by bridge thermal expansion. Because BRBs in this case
are subjected to strain histories with various amplitudes that change
due to temperature fluctuation experienced by the BRBs every day,

Fig. 1. Proposed schemes for bridge ductile end diaphragms: (a) EDS-1; and (b) EDS-2.

Fig. 2. Side view of a typical BRB specimen. HSS = hollow structural section.
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this paper reports on research conducted to quantify the low-cycle
fatigue life of BRBs in this bridge application. Note that bridge life
is currently taken as 75 years by AASHTO (2014). Therefore, in
addition to the seismic demands, the BRBs should be designed to be
either left in place for 75 years, or plans could be made to periodi-
cally replace BRBs that have shorter low-cycle fatigue life. BRBs
that fail to perform accordingly would have to be connected in se-
ries with lock-up devices to allow thermal expansion and contrac-
tion of the bridge under normal conditions. Also, these devices need
to engage the BRBs during earthquakes, which would entail more
complex and undesirable detailing. This study is intended as a first
step toward establishing principles for the design of BRBs subjected
to strain cycles as a consequence of temperature changes in this con-
templated application.

The temperature change history and methodology considered in
this study is presented. A simply supported bridge model is used to
generate the strain histories for BRBs from temperature fluctuation
data. Low-cycle fatigue analyses are conducted using the software
Fatiga Version 1.03, and results on the BRBs’ fatigue life are pre-
sented considering various temperature histories and ratios of the
BRB’s core length over the bridge’s total length. The estimated fa-
tigue life of BRBs obtained from Fatiga is solely based on the axial
strain loading applied to the core plate steel. Because the core plate
of a BRB typically develops local buckling under the applied low-
cycle fatigue strain loading (albeit of constrained amplitude), this
local buckling produces additional flexural plastic deformations
that add up to the pure axial strains. A calibration factor was calcu-
lated to account for the fact that the local buckling of BRBs may
reduce the estimated low-cycle fatigue life results.

Note that the BRBs in bidirectional EDSs are considered as sec-
ondary members, which, by definition (Marsh and Stringer 2013),
are not part of the gravity load resisting system of the bridge under
regular service condition, and it would only activate under seismic
loads. There are only minimal forces in the BRBs due to vertical ve-
hicular loads. Where the BRBs would be located, installed as envi-
sioned, operational vehicular traffic would not produce significant
differential axial or distortional deformations in the BRBs. In addi-
tion, the force in the BRBs due to braking forces caused by vehicu-
lar loads on the bridge is relatively small compared with the seismic
force demand (Wei and Bruneau 2017, 2018). However, BRB
designs should be checked to make sure that this is the case and that
the BRB remains elastic (and at low-stress ranges) for the
AASHTO (2014)-specified braking forces applied to the bridge. Per
AASHTO 3.6.4, the braking force per lane can be calculated as the
maximum force obtained from: (1) 25% of axle weights of the
design truck/tandem and (2) 5% of design truck/tandem plus lane
load. The resulting braking force per lane is 80 kN (18 kips). If a
bridge has trucks in all lanes, and all trucks brake at the same time,
all the BRBs at the ends would be subjected to this braking force
times the number of lanes [for example, this would be 160 kN (36
kips) for a two lane bridge]. For a proper application of the proposed
concept, the designer would need to verify that this braking force
from the live load does not yield the BRBs. In addition, repeated
applications of this design braking force over the bridge’s lifetime
may cause some stress cycles that, technically, would add to cycle
counting as part of the fatigue life calculation. However, for the pre-
vious160 kN (36 kips) example, a yielding core with a cross
sectional area of less than a square inch and yield strength of
289 MPa (42 ksi) would be sufficient to achieve elastic response
and keep this contribution to fatigue within the realm of high-cycle
fatigue for the BRBs (i.e., with little impact on the low-cycle fatigue
calculations). Note that BRBs used for seismic response typically
will require significantly greater cross sectional area in the yielding

core. In other words, although the focus of study in this paper is
about the effect of the temperature changes on the BRB design in
bidirectional ductile diaphragm systems, the engineer is cautioned
that future study on the fatigue of BRBs due to braking forces on
the bridge may broaden the understanding of BRBs’ behaviors in
the bidirectional ductile diaphragm system. However, the authors
believe that this issue is not expected to have a significant impact on
fatigue life when the corresponding stresses remain well into the
elastic range, in accordance with the design intent.

Summary of Experimental Results

The analytical results in this paper have been used to experimentally
investigate the BRBs’ behaviors in the bidirectional EDS applica-
tion in Wei and Bruneau (2018). Eight BRB specimens were sub-
jected to an extensive set of quasi-static experiments consisting of a
regime of combined relative end displacement histories, representa-
tive of the displacement demands induced by earthquakes as well as
the thermal changes on the bridges presented in this study. In one
example relevant to the material presented, one BRB specimen
resisted the design displacement histories corresponding to those
induced by temperature change at the expansion joint of a represen-
tative bridge over 75 years in service without failure. To fail the
specimen, additional cycles of displacement histories were applied
by progressively scaling the displacement amplitude above those
corresponding to the design temperature-induced displacement his-
tory. For the other BRBs that were tested under displacement
demands corresponding to various combinations of design earth-
quake and years of thermal changes, the test results showed that the
design seismic displacement demands caused significantly more
damage (i.e., more cumulative inelastic displacements) than the
temperature-induced displacement demands. However, the experi-
ments also showed that low-cycle fatigue induced by the effect of
temperature changes on the bridge can affect the BRB’s service life
(and this will be more significant for BRBs having shorter yielding
core length). The capability of the BRBs to endure the inelastic dis-
placement demands from earthquakes was reduced when consider-
ing the temperature-change effect. Based on the total low-cycle fa-
tigue life empirically obtained from test results, it was recommended
that BRBs installed in bridges be replaced after 35 years of service to
ensure adequate performance under the expected seismic demands;
guidance was provided to indicate how longer service life could be
achieved. Information of the comprehensive experimental work and
corresponding design and detailing recommendations are also pre-
sented inWei and Bruneau (2018).

Temperature History and Background

In this study, the thermal expansions or contractions of bridges,
resulting in strains on BRBs, were calculated from actual recorded
maximum and minimum daily temperatures (AccuWeather 2012)
for cities arbitrarily chosen to represent a broad selection of seismic
regions and scenarios of daily and yearly temperature variations.
The selected eight locations within the United States were Anchorage,
Alaska; Boston; Charleston, South Carolina; Los Angeles; Memphis,
Tennessee; Portland, Oregon; San Francisco; and Seattle. Quebec
City in Canada was also chosen due to its wide range of temperature
variations within a year and significant seismic sources near the city.
The resulting temperature history for the city of Memphis is presented
in Fig. 3, whereas the temperature histories for the other eight cities
considered are presented in Fig. S1. For determining the thermal
movement of bridges, AASHTO (2014) provided maximum and
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minimum design temperatures that may result in a slightly larger
range of demands for some of these locations. However, it must be
recognized that AASHTO specified extreme temperature ranges that
may happen only a few times over the life of the bridge for the purpose
of calculating maximum effects in design, whereas the temperature
history in Fig. 3 is applied to the bridge repeatedly each year for a con-
siderably large number of cycles.

Because the thermal strain history applied to BRBs has variable
amplitudes, strain cycles were computed using the rainflow count-
ing method (Matsuishi and Endo 1968), which is commonly used to
extract cycles from variable-amplitude loading. The resulting cyclic
hystereses (i.e., stress–strain relationships) in the BRBs correspond-
ing to the strain histories were generated using Ramberg-Osgood
and Masing-Morrow models, which were used later to compute the
low-cycle fatigue life.

The Ramberg-Osgood model (Ramberg and Osgood 1943), rep-
resented by Eq. (1), exhibits a nonlinear behavior from the begin-
ning (i.e., from zero stress level). The model consists of a power
law relation between stress, s , and total strain, ɛ, in which the total
strain consists in the sum of elastic and plastic strains

ɛ ¼ s

E
þ s

K 0

� �1=n0
(1)

where E = elastic modulus; K0 = cyclic strength; and n0 = cyclic
strain hardening component.

The Masing-Morrow model (Masing 1926; Morrow 1965),
expressed in Eq. (2), was developed based on the observation that
each branch of the hysteresis loop was geometrically similar to the
monotonic stress–strain curve with a scale factor of two. On unload-
ing and taking peak tensile load as the new origin, each element was
required to deform through twice its previous equivalent yield
stress, 2s y. The tension path of themodel followed the compression
path resulting in a closed hysteresis loop:

Dɛ ¼ Ds
E
þ 2

Ds
2K 0

� �1=n0

(2)

The stress–strain hysteresis loops were generated as presented in
Fig. 4, in which the first half cycle (i.e., inner loop) is assumed to fol-
low the stable cyclic stress–strain response as expressed in the
Ramberg-Osgood relationship in Eq. (1). The subsequent cyclic stress–
strain hysteresis loops follow theMasing relationship in Eq. (2).

Three models were used to estimate the fatigue life of BRBs by
considering or neglecting the mean stress effect: the Basquin-
Coffin-Manson model (Basquin 1910; Coffin 1954; Manson 1954),
the Smith-Watson-Topper model (Smith et al. 1970), and the
Morrow model (Morrow 1968). The Basquin-Coffin-Manson
model ignores the effect of mean stress on fatigue behaviors,
whereas the latter twomodels have mean stress correction. Previous
studies (Maeda et al. 1998; Nakagomi et al. 2000) have shown that
such models could be applied to the BRB core plate assuming that
plastic strains were generally distributed over the entire length of
the core plates, that sufficient constraint against buckling was pro-
vided, and that the core plate maintained its positive incremental
stiffness after yielding. Generally, the high-cycle, low-strain regime
in which the nominal strains were elastic is expressed by Eq. (3)

Dɛe
2
¼ s 0f

E
2Nfð Þb (3)

whereas the low-cycle, high-strain regime in which the nominal
strains are plastic is described by Eq. (4)

Dɛp
2
¼ ɛ0f 2Nfð Þc (4)

These two regimes of elastic and plastic strains are accumulated
to give the total strain, providing the basic relationship between
total strain range and cyclic life given in Eq. (5)

Fig. 3. Recorded temperature data forMemphis in 2012.

Fig. 4. Example of a stress–strain hysteresis loop.
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Dɛ
2
¼ De e

2
þ Dɛp

2
¼ s 0f

E
2Nfð Þb þ ɛ0f 2Nfð Þc (5)

The strain-life curve in Fig. 5 was generated using the Basquin-
Coffin-Manson model for ASTM (2017) A36 steel with the follow-
ing material fatigue properties: elastic modulus E = 200,000 MPa,
fatigue strength coefficient s 0f = 1,014 MPa (147 ksi), fatigue
strength exponent b = –0.132, fatigue ductility coefficient ɛ0f =
0.271, fatigue ductility exponent c = –0.451, cyclic strength coeffi-
cient K0 = 1,097, and cyclic strain hardening exponent n0= 0.249
(Higashida et al. 1978). The strain-life curve provides the relation-
ship between the applied strain amplitude, Dɛ=2; and the fatigue
life reversals to failure; 2Nf . Two reversals are equal to one cycle,
and cycles to failure are presented as reversals to failure. Elastic
strain amplitude, Dɛe=2, is related to 2Nf by a linear relationship in
Eq. (3) (in a log-log space) with a slope equal to the fatigue strength
exponent, b, as illustrated by the dashed line in Fig. 5. The plastic
strain amplitude, Dɛp=2, is expressed in Eq. (4) as a linear function
of 2Nf (in log-log space) of slope equal to the fatigue ductility expo-
nent, c, as illustrated by the dashed-dot line in Fig. 5. The applied
total strain amplitude (elastic plus plastic strain) corresponds to the
solid line in Fig. 5. The life, in which elastic and plastic components
of strain are equal, is called the transition fatigue life 2Ntð Þ and cor-
responds to 261,100 reversals for ASTM A36 steel. For lives less
than 2Nt, the deformation is mainly plastic; whereas for lives larger
than 2Nt, the deformation is mainly elastic.

Mean stress could have some influence on fatigue life and that the
fatigue process is sensitive to tensile mean stress in both the high-
cycle fatigue and low-cycle fatigue regimes (Stephens et al. 2001).
For cases with low-strain amplitudes (<0.005), fatigue life increases
or decreases if the mean stress is compressive or tensile, respectively
(Koh and Stephens 1991), because the fatigue failure mechanism is
due to the slip of atomic lattice planes (Osgood 1982), andmean com-
pressive stress helps prevent the separation of atomic planes.

The Smith-Watson-Topper model in Eq. (6) assumes that the
product of the maximum tensile stress, smax, and the strain ampli-
tude ɛa control and that a constant fatigue life is obtained if their
product remains constant

smaxɛa ¼
s 0f
� �2
E

2Nfð Þ2b þ ɛ0fs
0
f 2Nfð Þbþc (6)

where smax = maximum stress of a given cycle. This method will
predict an infinite fatigue life if the maximum tensile stress is zero
or negative.

TheMorrow model in Eq. (7) assumes that the mean stress had a
more significant effect on the fatigue life when cycles of elastic
strain amplitude dominate, and this only affects the elastic portion
of the strain life

Dɛ
2
¼ s 0f � sm

E
2Nfð Þb þ ɛ0f 2Nfð Þc (7)

where sm =mean stress of a given cycle.
The damage caused by cycles at each amplitude is accumulated

using the Palmgren-Miner rule (Palmgren 1924; Miner 1945),
which assumes that the percentage of damage contributed by each
cycle in a strain history at a specific range is independent from those
produced over other ranges. Consequently, the failure condition of
a material subjected to variable-amplitude loading is calculated
using Eq. (8). Fatigue failure is achieved when this damage is equal
to 1.0. For example, if a material is subjected to a certain number of
cycles (or stress reversals) ni of stress amplitude, si, and the total
number of stress cycles to cause failure at that given amplitude level
is Nfi, then the material has attained a partial fatigue damage of
Di ¼ ni=Nfi. For other stress amplitudes, the corresponding partial
damage contributions can be calculated and summed to produce a
total accumulated damage of D. It is assumed that failure occurs
when D ¼ 1

D ¼
XN
i¼1

ni
Nfi
¼ 1 (8)

The accuracy of the Palmgren-Miner rule has often being
questioned (Ibrahim and Miller 1979; Miller and Ibrahim 1981;
Miller et al. 1986). First, the assumption that damage accumulates

Fig. 5. Strain-life curve for ASTMA36 steel.
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proportionally at all stress levels was deemed to be simplistic, but
tests have shown that it is conservative. Second, for high-cycle fa-
tigue, the Palmgren-Miner rule results in overestimated life predic-
tion, but it fails to consider the damage that may accumulate when
damage induced during large-amplitude cycles increases during
cycles of amplitudes below the fatigue limit (using a fatigue life
curve that has been developed for constant amplitude cycles).
However, this is of little consequence in low-cycle fatigue, and use-
fulness of this simple analytical criterion remains of considerable
value and is suitable for the application considered (Sobczyk 1989).

A simple example of the stress–strain curve in Fig. 4 presents
the methodology mentioned previously, and the difference between
the three fatigue life calculation methods in Tables 1–3. The strain
range of 0.03 and stress range of 736.4 MPa (106.8 ksi) from Point
A to Point B in Fig. 4 was considered to contribute half of the cycle
in Tables 1–3. By solving Eq. (5), the resulting value of 2Nf is 852
reversals using the Basquin-Coffin-Manson method. Consequently,
Nfi is 426 reversals (or cycles) to failure if the stress range from
Point A to Point B was continuously repeated. The damage for the
half cycle of that strain range from Point A to Point B is obtained by
dividing 0.5 by 426, resulting in the damage value of 0.00117.
Similarly, steps were taken for all other strain ranges from Point B
to Point I in Fig. 4, and the total damageD of 0.05497 was obtained
by summing the contributions from each cycle. The fatigue life for
that repeated strain history is then calculated by taking the recipro-
cal of the total damage, which gave 18.19 repetitions. For the
Smith-Watson-Topper and Morrow approaches, steps taken to cal-
culate the damages for each cycle and to estimate the fatigue life are
similar to those in the Basquin-Coffin-Manson approach. The only
difference lies in the formulas used; the Smith-Watson-Topper
method considers a correction based on the maximum stress smax,
whereas the Morrow method uses mean stress sm to estimate the
total life reversals of 2Nf .

Strain History Calculation

In this study, the bridge superstructure was assumed to have simply
supported steel girders and composite concrete deck, with the BRB
connecting the abutment to the bridge superstructure along the
bridge’s longitudinal direction. The bridge total span length is L,
with the bridge effective length of L1 (equal to the distance from the
BRB’s attachment point along the girder to the fixed bearing at the
far end of the span), the BRB’s total length is L2, and the end-offset
length is a, as presented in Fig. 6(a). The reference temperature, Tr,
was assumed to be the temperature when the BRBwas first installed
in the bridge. The temperature change, DT , was considered to uni-
formly affect the entire bridge superstructure, and it corresponds to
the reference temperature Tr subtracted by the recorded temperature
T in one day (a sign convention was chosen so that a positive
DT would correspond to tension in the BRB). The values of Tr
changed between the recorded maximum and minimum tempera-
ture at the specific bridge location, varying by 10°F intervals.

Uniform temperature changes DT cause thermal expansions or
contractions of the bridge and BRB. Positive DT expands the bridge
with an effective length L1 resulting in elongation on the BRB,
whereas negative DT contracts the bridge causing the BRB in com-
pression. As the Tr increased, BRB would experience more tensile
strains than compressive strains, and vice versa. If the BRB’s ther-
mal deformation is ignored, then the thermal deformation of the
bridge, d , is equal to the displacement applied to the BRB, d eq, as
illustrated in Fig. 6(a). Assuming that this displacement is only dis-
tributed inside the BRB core plate with the assumed length of cL2,
the strain in the BRB core plate can be simplified as

ɛeq ¼ d eq

c L2
¼ a1DTL1

c L2
(9)

where L2 = total length of the BRB; a1 = coefficient of thermal
expansion of concrete taken as 0.000006 m/m/°F; and c = core plate
yielding length ratio of the BRB. Note that the thermal expansion
coefficient of steel (for the bridge girders) is 0.0000065 m/m/°F,
which would have given slightly larger deformations. The thermal
expansion coefficient for concrete was used based on the arbitrary
assumption that the concrete deck cross sectional area for the bridge
would be larger than the section area of steel girder and may govern
thermal elongation.

More precisely, the effect of thermal changes in deforming the
BRB itself should be considered. The stiffness of the BRB also
needs to be taken into account, as well as its yield strength, Py,
which is defined later in this section. The thermal changes can cause
not only elastic but also plastic deformations on the BRB. Next are
four cases in which strains in the BRB core plate are derived consid-
ering deformations due to thermal expansion of only the bridge
(i.e., Cases 1 and 3), or both the bridge and BRB (i.e., Cases 2 and
4). The BRB thermal deformations in the elastic (i.e., Cases 1 and
2) and plastic ranges (i.e., Case 3 and 4) are both investigated.

Table 1. Fatigue life calculation using the Basquin-Coffin-Manson
method [Eq. (5)]

Point From To Dɛ Dɛ=2 2Nf Nfi ni Di ¼ ni=Nfi

A to B −0.02 0.01 0.03 0.015 852.4 426.2 0.5 0.00117
B to C 0.01 −0.03 0.04 0.02 423.2 211.6 0.5 0.00236
C to D −0.03 0.05 0.08 0.04 81.8 40.9 0.5 0.01221
D to G 0.05 −0.04 0.09 0.045 62.2 31.1 0.5 0.01607
E to F −0.01 0.03 0.04 0.02 423.2 211.5 1 0.00473
G to H −0.04 0.04 0.08 0.04 81.8 40.9 0.5 0.01221
H to I 0.04 −0.02 0.06 0.03 160.8 80.4 0.5 0.00622

Note: Fatigue life,Nf ¼ 1=D ¼ 18.19; and total damage, D ¼ 0.05497.

Table 2. Fatigue life calculation using the Smith-Watson-Topper method
[Eq. (6)]

Point From To Dɛ Dɛ=2 smax 2Nf Nfi ni Di ¼ ni=Nfi

A to B −0.02 0.01 0.03 0.015 333 1291.2 645.6 0.5 0.00077
B to C 0.01 −0.03 0.04 0.02 333 755.6 377.8 0.5 0.00132
C to D −0.03 0.05 0.08 0.04 519.7 95.6 47.8 0.5 0.01046
D to G 0.05 −0.04 0.09 0.045 519.7 77.4 38.7 0.5 0.01291
E to F −0.01 0.03 0.04 0.02 449.4 435.4 217.7 1 0.00459
G to H −0.04 0.04 0.08 0.04 484.5 108.4 54.2 0.5 0.00922
H to I 0.04 −0.02 0.06 0.03 484.5 181.7 90.8 0.5 0.0055

Note: Fatigue life,Nf ¼ 1=D ¼ 22:37; and total damage,D ¼ 0.0447.

Table 3. Fatigue life calculation using the Morrow method [Eq. (7)]

Point From To Dɛ Dɛ=2 sm 2Nf Nfi ni Di ¼ ni=Nfi

A to B −0.02 0.01 0.03 0.015 −35.1 862.6 431.3 0.5 0.00116
B to C 0.01 −0.03 0.04 0.02 −58.1 430 215 0.5 0.00232
C to D −0.03 0.05 0.08 0.04 35.2 81.4 40.7 0.5 0.01228
D to G 0.05 −0.04 0.09 0.045 17.6 62 31 0.5 0.01612
E to F −0.01 0.03 0.04 0.02 58.1 416.5 208.2 1 0.0048
G to H −0.04 0.04 0.08 0.04 0 81.8 40.9 0.5 0.01222
H to I 0.04 −0.02 0.06 0.03 35.2 159.7 79.8 0.5 0.00626

Note: Fatigue life,Nf ¼ 1=D ¼ 18:19; and total damage,D ¼ 0.05516.
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Four Cases in Calculating the Strain History

Case 1: Elastically Calculated Strain History of BRBs (BRB
Thermal Expansion = 0)
The BRB connecting to the bridge is simplified as an equivalent
spring, as given in Fig. 6(b). Because of the high in-plane rigidity of
the superstructure deck in the model considered, no significant rota-
tions about a vertical axis are considered at the ends of the span.
Although small rotations about a vertical axis could occur there due
to seismic excitation in the bridge’s transverse direction (resulting
in slightly larger ductility demands), these are not foreseen to occur
due to thermal effects; if this was a concern, the longitudinal BRBs
could be installed near the midwidth of the superstructure to mini-
mize the effect of these rotations. With respect to possible rotations
about a horizontal axis, if this was a concern, longitudinal BRBs
across the expansion joint of the bridge could be installed horizon-
tally to minimize the effect of this rotation. In all cases, it remains
that the simplified model is sufficient to generate the displacement
and strain demand due to this straight bridge’s thermal expansion
and contraction under temperature changes. Possible rotations at
the end of the bridge span are not considered in this paper, and
they may be investigated in future research using a full three-
dimensional (3D) model of the bridge. Also, a spring with the
property of the BRB’s core plate was used to model the BRB in
this simplified model. A detailed 3D model of the entire BRB
(including modeling of its interiors as fabricated) was built in
Abaqus version 6.13 and analyzed under the temperature-induced
displacement history to ensure that the fatigue analyses results
using the simpler “spring” model (accounting only for the core

plate) gave representative results. Because the magnitude of the
temperature-induced displacement history was relatively small
(compared with seismic demands), the BRB was not subjected to
extensive yielding. Therefore, even though the 3D model of the
BRB may give more accurate results in some cases, the simplified
model was used to generalize the fatigue analyses results.
However, information on the 3D model cannot be disclosed given
that the BRBs analyzed are proprietary products.

The bridge deck end connected to the BRB was considered free
to deform laterally as presented in Fig. 6(b), and thermal changes
DT in the bridge result in an expansion of the bridge of d 1.
Deformation of the BRB due to DT was neglected. Because of the
BRB stiffness, an equivalent force, P; pushes the bridge, resisting
its thermal expansion, resulting in the lateral deformation d

0
1 illus-

trated in Fig. 6(b). The deformation at equilibrium is d eq, given by

d eq ¼ d 1 � d 01 ¼ d 1 � P
K1

(10)

Because the bridge and BRB are connected in series, the equiva-
lent force P is equal to the total force in the system due to thermal
changes

P ¼ Ktotd 1 ¼ K1K2

K1 þ K2
d 1 (11)

where K1 and K2 = effective stiffness of bridge and the BRB.
Therefore, the equivalent deformation of the BRB due to thermal
changes can be written as

d eq ¼ d 1 � K1K2

K1 þ K2
d 1

1
K1
¼ d 1 1� K2

K1 þ K2

� �
(12)

By substituting Eq. (12) into Eq. (9), the thermal strain of the
BRB is

ɛeq ¼ d eq

cL2
¼ a1DT

L1
cL2

1� K2

K1 þ K2

� �
(13)

Case 2: Elastically Calculated Strain History of BRBs (BRB
Thermal Expansion = d2)
In this case, thermal change DT is assumed to deform both the
bridge and the BRB, producing d 1 and d 2, respectively, which
were added up to the total thermal expansion of d tot, as presented in
Fig. 6(c). As illustrated in Fig. 6(c), the deformation at equilibrium
d eq can be written as

d eq ¼ d tot � d 01 ¼ d tot � P
K1

(14)

where P = equivalent force in the system due to total thermal expan-
sions of the bridge and BRB, calculated as

P ¼ Ktotd tot ¼ K1K2

K1 þ K2
d tot (15)

By substituting Eq. (15) into Eq. (14)

d eq ¼ d tot � K1K2

K1 þ K2
d tot

1
K1
¼ d tot 1� K2

K1 þ K2

� �
(16)

The thermal strain of the BRB can be calculated as

Fig. 6. Model for BRBs connecting bridge abutment and girder for
calculating impact of bridge thermal expansion considering (a) only
BRB stiffness; (b) BRB and bridge elastic stiffnesses; (c) BRB elastic
stiffness and deformation of BRB due to temperature changes; (d) BRB
plastic resistance to thermal expansion; and (e) force applied to the
bridge due to the BRB’s plastic resistance to thermal expansion and de-
formation of the BRB due to temperature changes.
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ɛeq ¼ d eq

cL2
¼ a1DTL1 þ a2DTL2

cL2
1� K2

K1 þ K2

� �
(17)

where a2 = thermal expansion coefficient of the BRB, which is
taken as 0.0000065 in/in/°F.

Case 3: Plastically Calculated Strain History of BRBs (BRB
Thermal Expansion = 0)
Similar to Case 1, thermal changes DT cause the bridge deck to
deform as illustrated in Fig. 6(d). Because of the BRB stiffness, an
equivalent force, P; resists these elongations, resulting in lateral de-
formation of d 01 under that force. However, when the BRB’s plastic
response is taken into account, the equivalent force P is now limited
to Py, which is equal to the product of the BRB yielding core plate
cross sectional area, Aysc, and core plate steel yield strength, Fy. The
equivalent deformation, d eq; in Fig. 6(d) is

d eq ¼ d 1 � d 01 ¼ d 1 � Py

K1
¼ d 1 � AyscFy

K1
(18)

The thermal strain of the BRB is calculated as

ɛeq ¼ d eq

cL2
¼ a1DTL1K1 � AyscFy

K1L2cL2
(19)

Case 4: Plastically Calculated Strain History of BRBs (BRB
Thermal Expansion = d2)
Similar to Case 2, thermal changes DT is considered to deform both
the bridge deck and the BRB, as presented in Fig. 6(e). The total de-
formation due to thermal changes DT is taken as d 1 þ d 2. From
Fig. 6(e), the deformation at equilibrium d eq can be written as

d eq ¼ d tot � d 01 ¼ d tot � Py

K1
¼ d tot � AyscFy

K1
(20)

where Py, Aysc, and Fy are the same as previously defined in Case 3.
The thermal strain of BRB is calculated as

ɛeq ¼ d eq

cL2
¼ a1DTL1 þ a2DTL2 � AyscFy

K1

� �
=cL2 (21)

Example

A simple example of the BRB thermal strain calculation is con-
ducted using the equations in each of the previously mentioned four
cases. The results are compared to illustrate how different the BRB
thermal strains are, particularly regarding the BRBs considered as
either elastic or plastic for the sake of calculating thermal deforma-
tions. The bridge with a clear span length of L is subjected to ther-
mal changes DT, which are taken from 10 to 100°F within 10°F
intervals. The ratios of BRB length L2 over bridge length L are
taken as 1, 2, 3, and 4%, and the BRB core plate yielding length ra-
tio c is taken as 0.5. Assumptions are made for bridge concrete deck
properties, such as compressive strength, f 0c, as 20.7 MPa (3,000
psi); elastic modulus, E1; as 21,525 MPa (3,122 ksi); thermal
expansion coefficient, a1; as 0.000006 m/m/°F; and deck cross
sectional area, A1; as 2 m2 (3,150 in2). The material for the BRB
steel core plate is ASTM A36 steel with elastic modulus, E2, as
200,000 MPa (29,000 ksi); yield strength, Fy; as 248 MPa (36 ksi);
thermal expansion coefficient, a2, as 0.0000065 m/m/°F; and the
yielding core plate cross sectional area, Aysc, as 0.0026 m2 (4 in2).
The thermal strains of the BRB calculated for a length ratio of
L2=L equal to 1 and 3% are given in Fig. 7, whereas the other cases

corresponding to 2 and 4% are presented in Fig. S2. To illustrate the
sensitivity of the results to the various assumptions, an example is
taken for a bridge with a length ratio of L2=L equal to 3% and DT
equal to 40°F. The thermal strains calculated per Eqs. (9), (13), and
(17) are 0.0160, 0.0123, and 0.0128, respectively. If calculated by
Eqs. (19) and (21), the results would be 0.0153 and 0.0158, respec-
tively. From these results, it can be observed that elastically calcu-
lated BRB thermal strain (accomplished by neglecting the deforma-
tion d 01) given by Eq. (9) is only slightly different from the one
calculated plastically using the more precise Eq. (21). Eqs. (9) and
(21) are both retained for further calculations of BRB thermal strain
in the rest of this study, recognizing that the use of Eq. (9) results in
larger strains in the BRB, which will lead to a more conservative
estimation of low-cycle fatigue life.

Detailed Analysis and Results

BRB strain histories corresponding to the temperature histories pre-
sented in Figs. 3 and S2 were calculated using the thermal strain
equations presented previously. Because of the space constraints,
an example of how the results are obtained is given for BRBs with
thermal strain calculated using the recorded real temperature data
only from Memphis, whereas the complete results for all selected
locations can be found in Wei and Bruneau (2016). The appendix
presents the comparison of fatigue life calculated using strain his-
tories obtained per Eq. (9) for all the other cities considered in this
study. The use of the simplified method given in Eq. (9) (neglecting
the bridge’s deformation d 01 resulting from the BRB’s force) was
found to lead to a more conservative estimation of low-cycle fatigue
life, with only a small difference from the one calculated using the
more precise method given in Eq. (21) (considering d 01 as well as
the plastic deformation of BRBs due to thermal changes). For illus-
tration purposes, the strain histories are provided only from Eq. (9)
and their corresponding cycles resulting from the rainflow counting
method. The resultant stress–strain relationships of BRBs generated
from the Ramberg-Osgood andMorrow equations are also provided
for the strain histories generated from Eq. (9). Low-cycle fatigue
life results estimated based on the Basquin-Coffin-Manson, Smith-
Watson-Topper, and Morrow methods are given for thermal strains
calculated using both Eqs. (9) and (21) for comparison. Except for
the first step in which the strain histories were generated, the soft-
ware program Fatiga was used for conducting the rainflow count-
ing, calculating the damage produced by each cycle, and for esti-
mating the fatigue life of BRB. Suggestions on the length of BRBs
required to prevent their potential failure due to low-cycle fatigue
are provided by the authors at the end of this process.

In this study, the material used for the BRB’s core plate was
assumed to be ASTM A572 Gr 42. Because there is no significant
difference in the fatigue resistance properties of constructional steel
over the 248-MPa (36-ksi) to 689-MPa (100-ksi) yield strength
range, the strain-life relationship of ASTM A36 steel in Fig. 5 is
deemed to also apply to A572 Gr. 42, recognizing that larger
bridge thermal displacements are required to exceed the yield
strains compared with lower grade steels. As such, material prop-
erties for A36 steel were used in Fatiga, and the results obtained
will be conservative when applied to BRBs with yielding core
plates of other steel grades.

The assumptions and formulas used to calculate the thermal
strains of BRBs are described in the previous section. For each tem-
perature history, maximum and minimum daily temperatures were
recorded, resulting in maximum and minimum BRB thermal strains
each day. These daily maximum and minimum strains were then
assembled together into one continuous strain history with 732 data
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points spanning a full year with all its seasons (there were 366 days
in 2012, the year for which the temperature values for different sea-
sons were obtained).

The strain histories given in Figs. 8 and S3 provide the set of
thermal strain histories calculated by Eq. (9) using recorded
real-temperature data for a given year in Memphis in Fig. 3. The
axis in the continuous thermal strain histories in Figs. 8 and S3
correspond to 732 data points associated with the strains calcu-
lated from the recorded maximum and minimum temperature
within a year. For a given set of temperature data, increasing the
reference temperature, Tr, causes the BRBs to experience more
expansions/elongations and less contractions/shortening (and
vice versa). Therefore, as illustrated in Figs. 8 and S3, BRBs
have more tensile strains for Tr ¼ 100°F and more compressive
strains for Tr ¼ 30°F. Also, higher strains in the BRBs are found
in the shorter core plate length of BRBs, i.e., in the smallest ratio
between the BRB length and bridge total span length, and vice
versa. Note that Tr was taken incrementally at 10°F, and only
results for Tr corresponding to 30 and 100°F are presented in
Fig. 8 due to space constraints. Similarly, the ratio L2=L was
taken incrementally from 1 to 6% at 1% intervals, and only
results for 1 and 6% are given in Fig. 8 for comparisons. The
other cases for 70°F and 3% are given in Fig. S3. The yielding
length ratio of the BRB core plate cwas kept constant at 0.5.

Low-cycle fatigue is identified by a small number of cycles with
large plastic deformations in which the strain range, Dɛ, is bigger
than twice the yield strain ɛy; and this value is 0.00248 for A36
steel. Strain histories given in Fig. 8 demonstrate that the calculated
thermal strains exceed 0.248% of strain at least for some cycles in
most of the cases considered in the study (maximum strain is 9%),
showing that the BRB at times would undergo high plastic strains,
leading to the possibility of low-cycle fatigue failure.

The rainflow counting method was used in Fatiga to break the
continuous strain history obtained from the temperature history into
individual cycles. Stresses associated with the strains in each cycle
were calculated by Fatiga to estimate the BRB fatigue life. The cal-
culated stress with its associated strain, forming the cyclic stress–
strain hysteresis loop, are plotted in Figs. 9(a–d), corresponding to
the strain history in Figs. 8(a–d).

Recall that among these three methods chosen to calculate the
fatigue life of BRB, the Basquin-Coffin-Manson method neglects
the effect of mean stress sm, whereas both the Smith-Watson-
Topper and Morrow methods consider the mean stress effect. The
fatigue life reversals, 2Nf ;were obtained using all three methods for
each cycle counted using rainflow counting. Damage given by each
cycle Di and the total damage D are obtained by using Eq. (8). The
fatigue life was obtained by dividing the value of 1.0 by the total
damage D. In the Palmgren-Miner rule, it is assumed that failure

Fig. 7. Example of BRB thermal strain under various temperature changes in different cases (as the BRB length over the bridge length ratio changes):
(a) L2=L ¼ 1%; and (b) L2=L ¼ 3%.
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occurs when the damage fraction reaches 1.0; therefore, the value of
1.0 is also synonymous to the attainment of fatigue life. The values
of fatigue life are tabulated in Tables 4–9 for the reference tempera-
ture Tr of 30, 70, and 100°F because the percentages of LBRB=
LBridge changes for all nine cities. Low-cycle fatigue life results are
presented for thermal strain histories calculated using Eqs. (9) and
(21) to provide the comparison between the BRB’s fatigue life esti-
mation using a simplified approach [Eq. (9)] and precise method
[Eq. (21)]. In places in which the fluctuation of temperature within a
year was more severe (e.g., Memphis, Portland, and Quebec City),
the calculated fatigue life of BRBs was less compared with places
in which the yearly temperature variations were small (such as San
Francisco and Charleston). At the BRB length ratio of L2=L ¼ 6%,
the fatigue life, Nf , of the BRBs exceeds the 75 years’ design life
for all reference temperatures, Tr, as well as for all three of the
Basquin-Coffin-Manson, Smith-Watson-Topper, and Morrow
methods considered in this study. The yielding length ratio of the
BRB core plate is 0.5 in this case. Therefore, this initial analysis
would suggest that the minimum ratio of the BRB core plate yield-
ing length over the bridge length to avoid the low-cycle fatigue for
all locations and reference temperature should at least be 3%.

To better visualize the difference in the fatigue life in Tables
4–9, the fatigue life of the BRBs are presented in Fig. 10 with the
reference temperatures Tr of 100°F and BRB length ratio of
LBRB=LBridge as variables for Memphis. Similar fatigue life results
are presented in Figs. S4 and S5 for Tr of 30 and 70°F. An expected

design life of BRBs of 75 years, according to AASHTO (2014), is
marked by the dashed line in Figs. 10(a and b). The longer the BRB
is, the longer is the calculated fatigue life. Low-cycle fatigue life
results in Figs. 10, S4, and S5 also show that the BRB’s fatigue life
calculated using the simplified approach [Eq. (9)] provides more
conservative results than the precise approach [Eq. (21)] (i.e.,
shorter fatigue life results were obtained from the simplified
approach). For example, in Fig. 10 for reference temperature Tr of
100°F, the low-cycle fatigue life results calculated by Eq. (9) are
183, 83.9, and 136 years using Basquin-Coffin-Manson, Smith-
Watson-Topper, and Morrow methods, respectively. As for BRB
low-cycle fatigue life calculated by Eq. (21), the results are 154,
72.9, and 115 years for all three methods. The low-cycle fatigue life
predicted by the precise method is only approximately 1.7, 2.6, and
0.8% higher than the one calculated from the simplified approach
[Eq. (9)] for Basquin-Coffin-Manson, Smith-Watson-Topper, and
Morrowmethods, respectively.

The BRB low-cycle fatigue life results also show that with an
increase in Tr shorter fatigue life was obtained using the Smith-
Watson-Topper method compared with the Basquin-Coffin-Manson
and Morrow methods. Conversely, as Tr declines, more compressive
strains were calculated in the BRB, resulting in bigger fatigue life esti-
mated by the Smith-Watson-Topper method compared with the
Basquin-Coffin-Manson andMorrowmethods. For example, consider
a BRB length ratio at L2=L ¼ 6% in Figs. 10, S4, and S5 in which the
thermal strain is calculated using Eq. (9). The result shows that

Fig. 8. Strain histories of BRBs for Memphis for (a) Tr ¼ 30°F and L2=L ¼ 1%; (b) Tr ¼ 30°F and L2=L ¼ 6%; (c) Tr ¼ 100°F and L2=L ¼ 1%;
and (d) Tr ¼ 100°F and L2=L ¼ 6%.
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increasing Tr affects the low-cycle fatigue life of BRBs calculated by
the Smith-Watson-Topper method significantly compared with the
other twomethods. In Fig. S4, where Tr ¼ 30°F, the results of the cal-
culated fatigue life are 183, 3,320 and 252 years, whereas for Tr ¼
100°F in Fig. 10, the fatigue lives are obtained as 171, 81.9, and 129
years for the Basquin-Coffin-Manson, Smith-Watson-Topper, and
Morrow methods, respectively. This difference is expected because
the Smith-Watson-Topper method predicts an infinite fatigue life if
the maximum tensile stress is zero or negative, whereas the Morrow
method provides more accurate results in compressive loadings. As
for the Basquin-Coffin-Manson method, it generates almost a similar

fatigue life with the different reference temperature, Tr, because the
only parameter affecting the fatigue life is its strain ranges.

Calibration Factor Based on Experimental Results

In the past, the low-cycle fatigue behavior of BRBs was conducted
under strain-controlled loading histories. The applied strains to
BRBs would cause the local buckling of the encased core plate
because the core plate is allowed to buckle first in the weak-axis
bending direction due to the gap with the steel casing, which

Fig. 9. Stress–strain relationship of BRBs for Memphis with (a) Tr ¼ 30°F and L2=L ¼ 1%; (b) Tr ¼ 30°F and L2=L ¼ 6%; (c) Tr ¼ 100°F
and L2=L ¼ 1%; and (d) Tr ¼ 100°F and L2=L ¼ 6% (stress unit: ksi).

Table 4. Fatigue life of BRBs using the Basquin-Coffin-Manson method with thermal strain data calculated by Eq. (9)

Location

Tr = 100°F Tr = 70°F Tr = 30°F

L2/L (%) L2/L (%) L2/L (%)

1 2 3 4 5 6 1 2 3 4 5 6 1 2 3 4 5 6

Anchorage — — — — — — 3 17 50 111 102 137 3 17 50 111 102 137
Boston — — — — — — 2 13 37 81 151 183 2 13 36 79 147 174
Charleston — — — — — — 4 24 74 169 329 412 — — — — — —

Los Angeles 2 11 35 80 172 183 2 11 33 75 146 183 — — — — — —

Memphis 2 8 25 55 105 183 2 8 25 55 105 183 2 8 25 55 105 183
Portland 2 11 33 73 151 174 2 11 31 68 128 174 2 11 30 67 127 166
Quebec City — — — — — — 1 7 20 43 86 110 1 7 20 43 86 110
San Francisco — — — — — — 5 31 98 234 515 641 — — — — — —

Seattle — — — — — — 3 17 52 118 253 366 3 17 52 118 253 366
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produces additional flexural plastic deformations and strains in
addition to the pure axial strains in the calculation of the BRB’s
thermal strains used in the previous section (Tsai et al. 2014).
Therefore, a calibration factor is necessary to consider that the
local buckling of BRBs may reduce the estimated low-cycle fa-
tigue life results presented previously. This calibration factor is
expected to depend on how the BRB is fabricated because this
would have an impact on the amplitude of the local buckles
in the BRB core (Takeuchi et al. 2008). The calibration factors
are only applicable to the type of BRBs used in the specific
development.

Because little data are available for the low-cycle fatigue of
BRBs under variable amplitude loading, the calibration is made
only from the constant amplitude loading obtained from the four
experiments by Usami et al. (2011), Wang et al. (2012a, b),
Nakamura et al. (2000), and Maeda et al (1998). The two BRB
types are built with different JIS steel grades in the core plate and
the corresponding steel properties are compared with ASTM 36
steel grade in Table 10. Experiments by Nakamura et al. (2000)
and Maeda et al (1998) also included some BRB specimens that
used a special low-yield steel that can develop 40% elongation at
failure and had a different low-cycle fatigue life. Therefore, data

Table 5. Fatigue life of BRBs using the Smith-Watson-Topper method with thermal strain data calculated by Eq. (9)

Location

Tr = 100°F Tr = 70°F Tr = 30°F

L2/L (%) L2/L (%) L2/L (%)

1 2 3 4 5 6 1 2 3 4 5 6 1 2 3 4 5 6

Anchorage — — — — — — 2 10 27 52 58 59 5 26 72 172 271 384
Boston — — — — — — 2 11 31 66 120 133 13 65 173 361 640 828
Charleston — — — — — — 4 24 69 151 282 308 — — — — — —

Los Angeles 1 6 17 37 47 59 2 12 36 80 153 230 — — — — — —

Memphis 1 5 14 29 51 84 2 10 26 55 101 167 27 152 444 992 1,910 3,320
Portland 1 6 17 35 44 50 3 10 28 61 114 157 610 613 2,059 5,278 11,689 14,940
Quebec City — — — — — — 1 5 14 28 50 60 3 15 40 81 141 166
San Francisco — — — — — — 4 22 66 151 296 513 — — — — — —

Seattle — — — — — — 2 13 38 83 158 205 117 783 2,713 7,264 1,6630 20,700

Table 6. Fatigue life of BRBs using the Morrow method with thermal strain data calculated by Eq. (9)

Location

Tr = 100°F Tr = 70°F Tr = 30°F

L2/L (%) L2/L (%) L2/L (%)

1 2 3 4 5 6 1 2 3 4 5 6 1 2 3 4 5 6

Anchorage — — — — — — 3 14 41 91 68 127 3 19 55 125 233 242
Boston — — — — — — 2 13 37 78 147 157 3 16 47 106 199 203
Charleston — — — — — — 4 25 77 172 341 373 — — — — — —

Los Angeles 2 9 26 59 103 109 2 11 33 79 151 161 — — — — — —

Memphis 1 7 20 43 80 136 2 8 24 55 102 176 2 10 32 73 143 252
Portland 2 9 25 55 94 104 2 10 30 69 132 137 2 14 43 98 196 204
Quebec City — — — — — — 1 6 18 37 68 70 1 8 22 49 91 95
San Francisco — — — — — — 15 97 326 826 1,800 2,350 21 152 560 1,550 3,270 3,800
Seattle — — — — — — 3 16 47 107 215 231 4 22 72 181 345 351

Table 7. Fatigue life of BRBs using the Basquin-Coffin-Manson method with thermal strain data calculated by Eq. (21)

Location

Tr = 100°F Tr = 70°F Tr = 30°F

L2/L (%) L2/L (%) L2/L (%)

1 2 3 4 5 6 1 2 3 4 5 6 1 2 3 4 5 6

Anchorage — — — — — — 3 16 44 91 160 172 3 19 54 113 202 227
Boston — — — — — — 3 16 45 95 174 181 3 15 42 91 167 179
Charleston — — — — — — 5 32 96 218 418 426 — — — — — —

Los Angeles 2 11 32 71 136 145 3 15 46 105 203 208 — — — — — —

Memphis 2 8 23 50 92 154 2 8 23 50 92 154 2 8 23 50 92 154
Portland 2 11 30 65 120 136 3 14 40 89 167 181 2 11 33 71 134 145
Quebec City — — — — — — 1 8 22 45 82 82 1 8 22 47 86 91
San Francisco — — — — — — 6 37 119 284 572 589 — — — — — —

Seattle — — — — — — 4 21 64 144 280 290 3 17 52 118 226 245
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for BRBs with this special steel were excluded in this study.
Every type of BRB manufacturing detail is not shown in this
study due to space constraints.

The low-cycle fatigue experiments were conducted under a con-
stant amplitude loading test with the loading protocol illustrated in
Fig. 11. The experiments were conducted by first controlling the
axial displacement up to the yield displacement of BRBs, d y. Then,
the constant strain amplitude, Dɛ=2, specified in Table 11 was
imposed cyclically, starting with tensile strains followed by com-
pressive strains, until the BRB specimens failed. In each case, the
number of cycles to the failure of BRBs used in the experiments,
Nfa , are given in Table 11. The number of cycles to failure for the
constant strain amplitude,Dɛ=2, specified in Table 11 are calculated
using the Basquin-Coffin-Manson method, and the steel fatigue
properties of ASTMA36 were used. The resulting fatigue life calcu-
lated using the Basquin-Coffin-Manson method, Nfb , was compared
by taking the ratio with Nfa , as given in Table 11. The Basquin-
Coffin-Manson method was used because it ignores mean stress cor-
rection, which is consistent with the way the provided fatigue life
was calculated in the literature on prior BRB tests.

Regression analysis was conducted to obtain the calibration fac-
tors by comparing the plot of the relationship between the strain
amplitude, Dɛ=2, and the number of failure cycles, Nf , for the ex-
perimental results and for the predicted values using the Basquin-
Coffin-Manson method. The calibrations factors were categorized
by the different steel grades.

For SM400A steel, the exponential regression for the fatigue life
obtained using experimental results is

y ¼ 317:27e�111:8x (22)

The exponential regression for the calculated fatigue life using
the Basquin-Coffin-Manson method and ASTM A36 material fa-
tigue properties is

y ¼ 3068:3e�98:14x (23)

The two regression lines fitting the fatigue life results are illus-
trated in Fig. 12(a) (in log-linear space). A calibration factor, a,
equal to 0.103, is calculated by scaling the straight lines as

a 3068:3e�98:14xð Þ ¼ 317:27 (24)

Assume that the BRB low-cycle fatigue life calculated using the
method in previous sections is 75 years. With the calibration factor
of 0.1, the BRB would have to be periodically replaced (once every
7.5 years), or designed to have a longer core plate to achieve the
same 75 years’ fatigue life.

Similarly, for the SN400B steel, the regression lines for the fa-
tigue life were obtained from both SN400B BRB experimental
results and calculated values using the Basquin-Coffin-Manson
method and ASTM A36 material fatigue properties, as presented in
Eqs. (25) and (26), respectively. The calibration factor b 1 of 0.04
can be calculated from the regression curves in Fig. 12(b)

y ¼ 0:0552x�2:218 (25)

y ¼ 0:0022x�2:477 (26)

The strain amplitudes applied to the SN400B BRBs listed in
Table 11 vary from elastic to plastic strain range. The calibration
factor b 1 considers both the elastic and plastic strains range.
Because the plastic strain amplitudes contribute more to the

Table 8. Fatigue life of BRBs using the Smith-Watson-Topper method with thermal strain data calculated by Eq. (21)

Location

Tr = 100°F Tr = 70°F Tr = 30°F

L2/L (%) L2/L (%) L2/L (%)

1 2 3 4 5 6 1 2 3 4 5 6 1 2 3 4 5 6

Anchorage — — — — — — 2 9 24 47 79 83 5 26 68 133 224 256
Boston — — — — — — 2 12 32 67 117 121 16 78 203 401 678 832
Charleston — — — — — — 5 28 78 168 302 369 — — — — — —

Los Angeles 1 6 17 34 60 63 2 12 34 76 143 266 — — — — — —

Memphis 1 5 13 26 46 73 2 8 22 46 82 133 34 197 573 1,260 2,340 3,960
Portland 1 6 16 32 56 60 3 9 24 52 95 133 614 1,178 4,631 1,3466 31,553 55,440
Quebec City — — — — — — 1 5 14 28 48 51 5 17 42 83 140 166
San Francisco — — — — — — 4 41 110 162 312 633 — — — — — —

Seattle — — — — — — 3 15 42 90 166 211 161 1,206 4,695 14,014 35,556 41,583

Table 9. Fatigue life of BRBs using the Morrow method with thermal strain data calculated by Eq. (21)

Location

Tr = 100°F Tr = 70°F Tr = 30°F

L2/L (%) L2/L (%) L2/L (%)

1 2 3 4 5 6 1 2 3 4 5 6 1 2 3 4 5 6

Anchorage — — — — — — 3 13 36 73 122 134 3 18 51 106 184 191
Boston — — — — — — 3 14 39 82 145 152 3 16 47 99 189 213
Charleston — — — — — — 5 29 88 196 377 428 — — — — — —

Los Angeles 2 9 25 53 96 105 2 11 32 69 133 153 — — — — — —

Memphis 1 7 19 39 70 115 1 7 19 41 76 125 2 10 30 67 126 213
Portland 2 9 24 50 87 91 2 9 25 55 102 111 2 14 40 90 167 192
Quebec City — — — — — — 1 7 18 36 64 95 2 8 22 47 85 114
San Francisco — — — — — — 5 31 99 231 464 532 — — — — — —

Seattle — — — — — — 3 18 54 120 230 266 3 21 65 149 297 320
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fatigue life of the BRBs, another calibration factor was calcu-
lated corresponding to the strain amplitudes greater than 0.00124
(i.e., yield strain for A36 steel). Fig. 12(c) demonstrates the
regression line comparisons for the plastic strain amplitudes, in
which Eqs. (25) and (26) change to Eqs. (27) and (28) for the ex-
perimental results of SN400B and calculation values using the
Basquin-Coffin-Manson method and ASTM A36 steel proper-
ties. The resulted calibration factor, b 2, is 0.33. Assuming that
the BRB low-cycle fatigue life is 75 years, the BRB would have
to be periodically replaced (once every 3 and 23 years corre-
sponding to b 1 and b 2), or designed to have longer core plate to
achieve the same 75 years’ fatigue life

y ¼ 93471e�449:8x (27)

y ¼ 31596e�583:2x (28)

Because the calibration factors calculated for the two types of
BRBs are quite different, while awaiting further experimental data
it is recommended to use the calibration factor that gives more con-
servative results, which is 0.1. This calibration factor would signifi-
cantly reduce the minimum BRB core plate length ratio required to
avoid the low-cycle fatigue obtained in previous sections. Because
this calibration factor would differ for different BRB manufac-
turers, low-cycle fatigue tests of BRBs should be conducted to
quantify this value. Although this reduction of fatigue life was not
incorporated in the recommended BRB core plate length ratio in the
previous section, the method to obtain this factor was provided in
this section.

Fig. 10. Fatigue life of BRBs forMemphis with Tr ¼ 100°F calculated by (a) Eq. 9; and (b) Eq. 21.

Table 10.Material properties of ASTM A36, SM400A, and SN400B

Experiments by Steel grade Young’s modulus [E (MPa)] Yield strength [s yðMPaÞ] Yield strain ɛyð Þ
Higashida et al. (1978) ASTM A36 200,000 250 0.00124
Usami et al. (2011); Wang et al. (2012a) SM400A 210,000 291 0.00139
Nakamura et al. (2000); Maeda et al. (1998) SN400B 205,000 259 0.00126
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Conclusions

Low-cycle fatigue analyses were conducted with various levels of
refinements for BRBs installed across the expansion joint of bridges
as part of the bidirectional EDSs. The fatigue life analyses results
are compared and the following conclusions are made:
1. Assuming the deformation of BRBs due to thermal changes to

be equal to the thermal expansion of the bridge (i.e., neglecting
force applied to the bridge due to resistance to thermal expan-
sion and deformation of BRBs due to temperature changes)
would result in slightly larger strains in the BRB and provide
more conservative estimation of low-cycle fatigue life of BRB.

2. Using the Smith-Watson-Topper method (which provided the
most conservative low-cycle fatigue life of BRBs because this
method accounted for the tensile mean stress in the low-cycle fa-
tigue regime), and neglecting the BRB’s core plate local buck-
ling, the ratio of the BRB’s length over bridge total length, L2=L,
should be 6% to satisfy the 75 years’ design life as required by
AASHTO without low-cycle fatigue failure (for the worst of all
locations and installation temperatures considered). Assuming

the BRB’s core plate yielding length ratio to be 0.5, the mini-
mum ratio of the BRB core plate yielding length over the bridge
length should at least be 3%. This ratio is the projected length ra-
tio of BRBs in the longitudinal direction over the bridge length,
when the longitudinal BRBs are inclined.

3. The flexural strains introduced by local buckling of the BRB
yielding core add flexural strains to the pure axial strains of
the core plate inside the BRB. The comparison between past
low-cycle fatigue experiment results on certain types of BRBs
from the literature and the fatigue analysis results using the
Basquin-Coffin-Manson method gave the calibration factors,
which reduce the fatigue life and increase the required mini-
mum BRB core plate yield length ratio. Calibration factors are
expected to depend on how BRBs are fabricated. As such, val-
ues should be developed for the various designs offered by
BRB manufacturers.
These conclusions are made focusing on the temperature-change

effect on BRB design in bidirectional ductile diaphragm systems for
seismic design consideration. Although the results are valuable, the
findings are arguably subject to the limitations of this study, which
include (1) the limited number of cities (and thus of temperature
ranges) considered, (2) assumptions on the low-cycle behavior of
BRBs (i.e., BRB characteristics change across different BRB manu-
facturers), and (3) the neglected possible impact of other factors on
design. For example, designers should verify if the braking forces
caused by the vehicular live load will yield the BRB or reduce the
BRB’s fatigue life significantly with the added stress cycles.

Along with the recommended BRB core plate length ratio limit,
which is a useful parameter for designing BRBs in bidirectional
ductile EDSs to ensure their long-term performance, this study also
provides a controlling temperature-induced displacement history
(i.e., the one that resulted in the smallest fatigue life for a given ratio
of BRB core plate length). This information was used in combina-
tion with the seismic displacement demands to investigate the ex-
perimental performance of the BRBs under different displacement
protocols considered. This experimental work, along with the infor-
mation on BRB design and detailing recommendations for the cur-
rent purpose, was presented in Wei and Bruneau (2018). Future
study may investigate the effect of braking forces on the previously
mentioned findings. This could be done considering dynamic

Fig. 11. Loading protocol of constant amplitude low-cycle fatigue
test.

Table 11. BRB specimen test data and results under constant amplitude strain loading

Experiments by Specimens
Dɛ
�
2

Number of failure cycles Nfð Þ
Nfa
�
NfbExperiment Nfað Þ BCM Nfbð Þ

Maeda et al. (1998) 400-D1 0.0072 534 3,116 0.17
400-D2 0.00485 1,481 7,484 0.20
400-D3 0.00375 3,100 13,238 0.23
400-D4 0.00285 8,650 24,330 0.35
400-D5 0.00215 24,250 45,454 0.53
400-L1 0.00085 63,900 355,961 0.18
400-L2 0.000425 376,000 1,655,977 0.23
400-L3 0.0003 1140,000 3,581,581 0.32
400-L4 0.00017 5,350,000 12,655,943 0.42

Nakamura et al. (2000) 400-200 0.02 140 1,504 0.09
400-150 0.015 211 2,847 0.07
400-040 0.004 4,050 53,351 0.07

Usami et al. (2011) FE-1.0 0.01 111 1,504 0.07
FE-2.0 0.02 29 323 0.09
FE-3.0 0.03 14 132 0.11

Wang et al. (2012b) FE-4.0 (NS) 0.04 4 70 0.06
FT-3.5 (NS) 0.035 5 94 0.05
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analyses to compare those braking forces with the seismic force
effects (which depend on the seismic hazard that varies across the
country). A thorough investigation of the impact of this braking-
force limit state also may be conducted on typical designs of BRBs
to determine in which instances it could govern over the seismic
limit state (possibly in a low seismic zone).

Appendix. Fatigue Life of BRBs for the Nine
Cities Considered

The fatigue life of BRBs for the nice cities considered is based on
strain history calculated per Eq. (9) for BRB versus bridge length
ratios from 1 to 6% with installation temperatures at 100, 70, 30,
and 0°F using the Basquin-Coffin-Manson method.
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